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Viscoelastic response of solid rocket motor
components for service life assessment

S. Y. HO
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S.A. 5108, Australia

A methodology for determining the response of rocket motor materials and bondlines to

thermal loadings by measuring their dynamic mechanical properties is reported. The critical

temperatures at which debonding and/or propellant cracking occur and the number of

thermal cycles required to induce failure were evaluated. These results were compared with

those from instrumented rocket motors subjected to similar thermal loadings. A model,

developed for fibre reinforced composites, was applied to the propellant-inhibitor bimaterial

obtained from a rocket motor. The internal energy dissipation due to a lack of perfect

adhesion at the propellant—inhibitor interface, tan dadh, was used to give an indication of the

failure mode of the bondline (i.e., adhesive failure at the interface or cohesive failure in the

propellant) and the bond adhesion parameter, C, was related to the bond strength measured

by rectangular bond-in-tension tests.
1. Introduction
For solid rocket motors where the critical failure
mode is structural failure, i.e., grain cracking and/or
debonding, the mechanical behaviour of the various
components (e.g., propellant, inhibitor, liner, adhesive)
of the motor is very important in the prediction of the
service life of the overall rocket motor. In-service
rocket motors are often exposed to a wide range of
thermal and pressure loading conditions during stor-
age and operation, which can induce fracture in the
propellant charge. A particular problem is the suscep-
tibility of the propellant and the propellant—inhibitor
interface to cracking and/or debonding under thermal
shock conditions (e.g., during air carry where low and
high temperature extremes are experienced).

A previous study on the structural analysis of an
end burning partially case bonded rocket motor under
thermal shock loading conditions, by finite element
methods, showed high stress concentrations near the
head end of the motor and at the propellant—inhibitor
interface adjacent to the adhesive used in the partial
case bonding [1]. This was confirmed by radiographs
taken after this motor had been subjected to thermal
shock tests, which showed axial cracks in/near the
propellant—inhibitor interface of the charge adjacent
to the motor case bonding [2]. Although the propel-
lant and inhibitor materials were designed to have
similar thermal expansion coefficient at ambient tem-
peratures, they can have considerably different rates of
expansion/contraction at other temperatures in the
operating temperature range of the motor (in particu-
lar, below !10 °C and above #40 °C for the motor
studied here [2]. Failure at the propellant—inhibitor
interface (debonding) is caused by thermal stresses
resulting from differences in the thermal expansion
0022—2461 ( 1997 Chapman & Hall
coefficients of the different component materials, since
the stress free temperature is considerably higher than
the storage or operating temperatures. Thus it is im-
portant to understand the viscoelastic and mechanical
behaviours of the various motor components and the
propellant-inhibitor interface under various thermal
and pressure loading conditions in order to accurately
predict the failure mode of the motor.

Dynamic mechanical thermal analysis (DMTA) is
a useful laboratory tool for studying the viscoelastic
response and energy dissipation mechanisms of rocket
motor materials because only small test specimens are
required, and tests can be conducted at the temper-
atures and low strain levels which are appropriate to
the environmental conditions experienced by rocket
motors during their service life. Additionally, the effect
of ageing time on the viscoelastic response of these
materials can be studied [3] by measuring the vis-
coelastic properties of naturally aged materials over
wide temperature and frequency ranges to generate
a master frequency curve, using the time—temperature
superposition principle, in order to extrapolate the
ageing data to a longer time range and thus develop
ageing models which may be applicable to service life
analysis.

Zorowski and Murayama [4] proposed a math-
ematical model for interface adhesion in a filament
reinforced matrix of lower modulus. Their model,
based on theoretical studies [5, 6] of interface dissipa-
tion due to slippage in mechanical joints subjected to
cyclic loading, assumes a Coulomb friction transfer
mechanism and the structure is analysed through
a complete cyclic loading, where the area within the
resulting hysteresis loop is interpreted as the energy
dissipated at the interface. When poor adhesion exists,
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energy is dissipated at the interface of the component
materials during the cyclic loading. If this interface
dissipation could be separated from the other dissi-
pative mechanisms of the composite, DMTA could be
used to measure the loss tangent and quantitatively
characterize the level of adhesion.

This paper describes the use of DMTA for deter-
mining the ageing/thermal shock/thermal cycling be-
haviour of the solid rocket motor components and
interfaces. Zorowski and Murayama’s model for inter-
face adhesion, developed for a fibre reinforced com-
posite loaded in tension, is applied to a bimaterial to
measure the degree of adhesion at the interface of the
component materials. Predictions from DMTA (e.g.,
likely failure modes, critical temperatures and the
number of thermal cycles required to induce failure in
the rocket motor materials and interfaces) were com-
pared with stress measurements from instrumented
rocket motors subjected to similar environmental
loadings.

2. Experimental procedures
Propellant, inhibitor and propellant—inhibitor (P—I)
samples were obtained directly from an unaged end
burning rocket motor used in an earlier structural
analysis study for rocket motor service life predic-
tion [1, 7]. Rectangular samples of 10]8 mm
and 1.4 mm thickness (inhibitor and propellant—
inhibitor bimaterial) or 3 mm thickness (propellant)
were tested in the forced shear mode, using a rect-
angular torsion geometry, on a Rheometrics dynamic
mechanical spectrometer, Model RDA2. The samples
were subjected to several thermal shock cycles in
the mechanical spectrometer using a programmed
time sweep to simulate thermal shock conditions.
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The programmed time sweep for one thermal shock
cycle is as follows: pre-shock: 22 °C for 20 s; cold
cycle: !40 °C for 5 h; equilibration at ambient
after cold cycle: 22 °C for 30 s; hot cycle: #55 °C
for 5 h; equilibration at ambient after hot cycle:
22 °C for 30 s.

All measurements were made at a strain level of
0.1% and a frequency of 0.1 rad s~1, and the samples
were cycled until failure was detected. The propellant
and inhibitor materials are still in the linear elastic
region at strain levels up to 1—2%. Thus, the measured
non-recoverable damage is mainly due to thermal
stresses induced by thermal shock loading.

For the bond adhesion studies, the propellant, in-
hibitor and propellant—inhibitor bimaterial were
machined into 35]12]1.3 mm bars for testing in
tension using a film/fibre fixture on a Rheometrics
Solid Analyser, Model RSA2. Measurements were
made using a frequency/temperature sweep at a strain
level of 0.1%, over the temperature range !40 to
#60 °C and frequencies of 0.1, 1.0 and 10 rad s~1.
The measured tan d and dynamic modulus, E @, values
for the bimaterial and component materials were used
to calculate the degree of propellant—inhibitor ad-
hesion in the bimaterial using Zorowski and
Murayama’s model and compared with the propel-
lant—inhibitor bond strength measured by bond-in-
tension tests.

3. Results and discussions
Plots of dynamic shear storage, G@, and loss, GA,
moduli (elastic and viscous components of the mater-
ial response respectively) and loss tangent (GA/G@),
tan d, as a function of temperature and frequency
(0.1—10 rad s~1) for the propellant, inhibitor and P—I
Figure 1 (a) The temperature dependencies of G@ for the propellant at; ( ) 10 rad s~1, (.) 1 rad s~1, ( ) 0.1 rad s~1, the inhibitor at; ( )
10 rad s~1, (e) 1 rad s~1, ( ) 0.1 rad s~1 and the propellant — inhibitor bimaterial at; (h) 10 rad s~1, ( ) 1 rad s~1 and ( ) 0.1 rad s~1.
(b) The temperature dependencies of GA for the propellant at; ( ) 10 rad s~1, (.) 1 rad s~1, ( ) 0.1 rad s~1, the inhibitor at; (e) 10 rad s~1, (n)
1 rad s~1, ( ) 0.1 rad s~1 and the propellant — inhibitor bimaterial at; ( ) 10 rad s~1, ( ) 1 rad s~1 and (h) 0.1 rad s~1. (c) The temperature
dependencies of tan d for the propellant at; ( ) 10 rad s~1, ( ) 1 rad s~1, ( ) 0.1 rad s~1, the inhibitor at; ( ) 10 rad s~1, ( ) 1 rad s~1, ( )
0.1 rad s~1 and the propellant — inhibitor bimaterial at; (e) 10 rad s~1, (£) 1 rad s~1 and (h) 0.1 rad s~1.
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Figure 1 (continued)
bimaterial of the end-burning rocket motor are shown
in Fig. 1(a—c). Our results clearly indicate that the
modulus of the inhibitor is much higher than those for
the propellant and the P—I bimaterial, whereas there is
not much difference between the moduli of the propel-
lant and P—I bimaterial over the temperature range
!40 to #60 °C, suggesting that if failure/cracking in
the motor grain occurs it is likely to be at the interface
or in the propellant. The GA and tan d versus temper-
ature plots (Fig. 1(b and c)) show that the inhibitor
undergoes a glass transition, ¹

'
, at ca. 39 °C (esti-

mated from the point where the tan d output was
a maximum); i.e., the free volume increases and the
inhibitor softens at temperatures above ¹

'
. This may

be a critical upper temperature limit for storing this
motor as softening of the inhibitor can result in excess-
ive grain deformation and slumping of the grain onto
the nozzle, which can lead to catastrophic failure on
ignition. The propellant exhibits a small transition,
due to relaxation of the hard segments of the hy-
droxyterminate polybutadiene (HTPB) binder [8], in
the temperature range !40 to !20 °C.

The component materials and P—I bimaterial were
subjected to several thermal shock cycles, using the
DMTA, and the changes in shear modulus with each
cold and hot cycle are illustrated in Fig. 2(a—c). The
temperature change as a function of time are shown in
dotted lines. The samples were equilibrated at ambient
temperature before each hot or cold cycle. In the
analysis, the stress/modulus at thermal equilibrium at
the end of each thermal loading was used.

The stress of the P—I bimaterial decreased with each
thermal shock cycle, due to mechanical damage. This
is illustrated more clearly in Fig. 3(a—c) which show
the stress as a function of time for the first five thermal
shock cycles, where the changes were most prominent.
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Figure 2 (—) Dynamic storage modulus, (l) and (- - -) thermocouple
temperatures as a function of time for thermal shock test for (a) the
propellant — inhibitor bimaterial, (b) the propellant and (c) the
inhibitor.

Damage occurred early during the thermal shock
experiment, manifested by reductions in the measured
stress levels of the sample (see Fig. 3a). For the
bimaterial, damage first occurred during the first cold
cycle, indicated by a drop in modulus/stress at ambi-
ent temperature after the cold cycle (see Fig. 3c; also cf.
G@of the pre-shocked bimaterial with G@ at ambient
temperature after the first cold cycle). After the third
thermal shock cycle, there was a 95% decrease in the
modulus and no further reduction in modulus was
observed in subsequent cycles. Hence most of the
damage occurred during the first three cold cycles and
subsequent thermal shock cycles caused no further
damage. Mechanical damage was more apparent in
the cold cycles than in the hot cycles because at cold
temperatures the propellant and inhibitor contract at
different rates resulting in tensile stresses which open
up the cracks. On the other hand, the differential in
thermal expansion during the hot cycle results in com-
5158
Figure 3 Bondline stresses of the propellant — inhibitor bimaterial
for (a) the cold cycles (—) cycle 1, (. . . . . .) cycle 2 (–––) cycle 3, (—)
cycle 4, (----) cycle 5, (b) equilibrium at ambient temperature after
cold cycle , (–––) Pre thermal shock, (—) equilibration at 22 °C after
1st cold cycle, (. . . . . .) Pre 2nd cold cycle, (- - - ) Pre 3rd cold cycle, (c)
hot cycles, (–––) cycle 1, (. . . . . .) cycle 3, (—) cycle 4 and (----) cycle 5.

pressive stresses which close up the cracks and damage
was not apparent until the fourth and subsequent
cycles, where most of the damage has already occurred.

The changes in modulus with time when the propel-
lant and inhibitor were subjected to thermal shock
loading are illustrated in Fig. 2(b and c). As for the
bimaterial, damage was induced during the first ther-
mal shock cycle and completed after the third cycle.
However, the reductions in stress levels with each cold
cycle were much lower for the inhibitor compared to
the propellant and bimaterial. For the propellant,
stress relaxation was also observed (see Fig. 2b)
and this was very apparent in the cooling cycles,
JMS60265



Figure 4 Thermal expansion coefficient as a function of temper-
ature for rocket motor materials (r) inhibitor, (m) key, (j) propel-
lant and ( ) insulation.

a consequence of the longer relaxation time at low
temperatures (for viscoelastic materials at temper-
atures above ¹

'
, the stress relaxation time is inversely

proportional to temperature) [9].
There is excellent agreement between the trends in

the thermal cycling data from DMTA and those from
the instrumented rocket motors [2]. For example,
damage was more apparent in the cold cycles and the
thermal stresses were much higher than those in the
hot cycles. The number of thermal shock cycles re-
quired to induce failure was also comparable. It
should be noted that the number of thermal shock
cycles required to cause failure in the rocket motor
materials and motor would depend on the minimum
and maximum temperatures used in the cold and hot
cycles. The thermal loadings used in this study were
chosen so that a direct comparison can be made with
results from instrumented rocket motors in a previous
study. In that study [2], the motors were subjected to
environmental loadings which were more severe than
what they would normally see in service (i.e., overtest),
in order to induce failure in the motor for service life
predictions/studies. Our results suggest that DMTA
may be used to determine the critical temperatures, in
particular lower temperature limits, below which
grain cracking and/or debonding will occur.

Over the temperature range !40 to #60 °C, the
tan d versus temperature plots show the same trends
as the variation in thermal expansion coefficient [2]
with temperature (cf. Fig. 1c with Fig. 4). This is not
surprising since thermal expansion/contraction and
mechanical damping (tan d) are both related to mo-
lecular dynamics or changes in free volume. Thus, the
tan d values can be used to give an indication of the
temperatures where differentials in the thermal expan-
sion coefficients of the different component materials
exist, and therefore the critical temperatures where
debonding is likely to occur.

The expected value for tan d as a function of temper-
ature for the P—I bimaterial (assuming the additivity
rule and that tan d depends only on the volume frac-
tions of the component materials), if there are no
additional damping mechanisms provided by interface
Figure 5 Measured and calculated values for tan d as a function of
temperature. Key: ( ) propellant, ( ) inhibitor, ( ) propellant
— inhibitor bimaterial and ( ) 0.4 inhibitor#0.6 propellant.

interaction, are shown in Fig. 5. Comparison of the
calculated tan d values with those measured experi-
mentally (see Fig. 5) show that the magnitude of tan d
was higher than that expected from the additivity rule.
Also, the tan d peak of the bimaterial was shifted to
a higher temperature (4—8 °C increase) compared to
the inhibitor, suggestive of interface interaction. This
has also been observed in composites where the filler
shifts the tan d peak and ¹

'
to higher temperatures

due to interface interaction [8, 10] There are also
cases where the fillers increase the damping of the
composite, as a result of particle—matrix friction [9].

Zorowski and Murayama [4] developed a theory
whereby the total energy dissipation in a composite
system under cyclic loading can be separated into
a portion that is associated with the viscous properties
of the constituent materials and another resulting
from lack of perfect adhesion at the matrix interface.
They showed that in fibre reinforced composites, the
interface dissipation due to poor adhesion can be
modelled by:
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where tan d
!$)

is the internal energy dissipation due to
poor adhesion, tan d

%91
is the total internal energy

dissipation of the system, measured by DMTA, E
&
and

E
.

are the dynamic modulus (E@) of the fibre and
matrix respectively, and »

&
and »

.
are the volume

fraction of the fibre and matrix respectively. Hence the
energy dissipation of the interface, which increases
when adhesion is poor, can be determined if the total
system energy dissipation and dynamic modulii of the
components and volume fractions of the composition
are known.

Zorowski and Murayama’s [4] experiments on
polymer composites showed that a constant bond
adhesion parameter, which characterizes the bonding
adhesion between the filament and matrix, was ob-
tained when the volume fraction of the fibre was
increased from 0.05 to 0.45 (by grinding the matrix
surface and reducing the cross-sectional dimensions of
the samples) without altering the bonding adhesion.
These experiments suggest that their model may also
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be applicable to a bimaterial as it is somewhat similar
to a composition with a high fibre volume fraction,
but has only half the adhesion area.

In the present study, the volume fractions of the
component materials of the P—I bimaterial were var-
ied, without altering the interface bonding, by reduc-
ing the length of the sample at the propellant end
while keeping the cross-sectional area constant. If
Zorowski and Murayama’s model is valid for bi-
materials, then a constant value should be obtained
for the bond adhesion parameter, C, which is indepen-
dent of the volume fraction of the component mater-
ials. The constant C characterizes the level and quality
of bonding between the constituent materials and is
evaluated from the equation [4]:
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where C is the bond adhesion parameter, »
1

and »
*

are the volume fractions of the propellant and inhibi-
tor in the bimaterial and E

1
and E

*
are the dynamic

modulii of the propellant and inhibitor respectively.
The tan d

!$)
values (loaded in tension), in the tem-

perature range !40 to #60 °C, for three P—I bi-
material samples with different volume fractions were
calculated using Equation 1. The effect of temperature
and volume fraction of the constituent materials on
tan d

!$)
and the constant C are illustrated in Table 1

and Figs 6 and 7. The adhesion constant C varies with
temperature but at the same temperature it is indepen-
dent of the volume fraction of the constituents. In the
temperature range studied here, the variation from the
mean value of the adhesion constant at a given tem-
perature is 2—30% (see Table I). This is well within the
experimental error of $30%. Our results clearly
show that C is a constant independent of the volume
fraction and supports the validity/application of the
model of Zorowski and Murayama [4], developed for
fibre reinforced composites, to bimaterials.

The bond adhesion parameter, C, at different tem-
peratures are compared with the bond strength values
5160
Figure 6 Temperature dependence of ( ) bond strength and (j)
adhesion parameter.

of the P—I bimaterial measured from rectangular
bond-in-tension tests (see Fig. 6). As expected, the
maximum stress of the propellant—inhibitor bondline
decreases with increasing temperature. Additionally,
the variation of the bond adhesion constant with
temperature follows the same trend as the bond
strength !C increases with increasing bond strength.
Thus, C can be interpreted as a relative measure of
bond strength. However, the DMTA data were ca.
2 orders of magnitude higher than those from bond-
in-tension tests, due to differences in geometry and
loading conditions, etc.

The tan d
!$)

values are indicative of the lack of
perfect adhesion at the propellant—inhibitor interface
and they vary with temperature (see Fig. 7). As ex-
pected, tan d

!$)
was high at temperatures below

!20 °C, indicating poor adhesion, but was low at
temperatures above 0 °C, indicating good adhesion.
Examination of the bond-in-tension samples after
testing revealed a change in failure mode with temper-
ature. At !40 °C failure was predominantly adhesive
at the interface but at ambient temperature failure was
TABLE I Adhesion constants at various temperatures and volume fractions of component materials.

Temperature Volume fraction Volume fraction Adhesion constant, C C, mean value Variation
(°C) of propellant of inhibitor (dyn cm~2]107) (dyn cm~2]107) from mean

value (%)

!40 0.5 0.5 126 17
0.6 0.4 115 108 7
0.8 0.2 82 23

!20 0.5 0.5 120 17
0.6 0.4 116 102 13
0.8 0.2 70.5 31

0 0.5 0.5 40.1 28
0.6 0.4 30.6 31.2 2
0.8 0.2 22.9 26

20 0.5 0.5 13.6 7
0.6 0.4 14.4 12.7 13
0.8 0.2 10.0 21

40 0.5 0.5 16.4 12
0.6 0.4 16.9 14.5 15
0.8 0.2 10.6 27
JMS60265



Figure 7 Temperature dependence of (j) tan d
!$)

, and ( ) differ-
ence in maximum stress between propellant and propellant—inhibi-
tor bimaterial.

cohesive in the propellant, and at #60 °C failure was
ca. 60% cohesive and 40% adhesive. Adhesive failure
occurs when the maximum stress of the propellant
exceeds that of the bondline whereas, cohesive failure
occurs when the maximum stress of the propellant is
lower than that of the bondline.

A plot of the difference in maximum stress between
the propellant and the bondline versus temperature is
also shown in Fig. 7. This difference plot is indicative
of whether adhesive or cohesive failure is likely to
occur and the correlation of this with the tan d

!$)
values supports the proposal that tan d

!$)
can be used

to indicate the type of failure mode, i.e., a high value
suggests poor adhesion and failure at the interface
whereas a small or negative number suggests that
failure is not likely to occur at the interface.

4. Conclusions
The measurement of the dynamic mechanical proper-
ties of rocket motor materials and bondlines was
found to provide a quick and simple means to evalu-
ate the response of rocket motor materials and bond-
lines to environmental loadings seen in the motor
during its service life. The measured stresses from
thermal shock loading showed similar trends to stres-
ses observed in instrumented rocket motors subjected
to similar environmental loading conditions. For
example, the thermal stresses were much higher in the
cold cycles compared to those in the hot cycles and
decreased with each thermal cycle due to mechanical
damage. After ca 3—4 thermal cycles no further
damage was observed. These results may be used to
determine the critical temperature limits at which deb-
onding and/or grain cracking is likely to occur in the
motor. The tan d values of the constituent materials
were found to give an indication of the temperatures
where differentials in thermal expansion coefficients
exist, and therefore the critical temperatures where
debonding is likely to occur.

The model of Zorowski and Murayama for interface
adhesion, developed for fibre reinforced composites,
was applied to a bimaterial. At the same temperature,
the adhesion parameter, C, was a constant, indepen-
dent of the volume fractions of the constituent mater-
ials of the P—I bimaterial. This supports the proposal
that the model is also applicable to a bimaterial. There
was good qualitative correlation between the ad-
hesion parameter and the maximum stress of the
bondline, measured by rectangular bond-in-tension
tests, and they showed a similar dependence on tem-
perature. On the other hand, the internal energy
dissipation of the bimaterial, tan d

!$)
, is indicative of

the lack of perfect adhesion at the interface and could
be used to predict the likely failure mode (i.e., cohesive
failure in the propellant or adhesive failure at the
interface).
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